Tidal Stream turbine blades must withstand both extreme one-off loads and severe fatigue loads during their 20-25 year required lifetimes in harsh marine environments. This necessitates the use of high-strength fibre reinforced composite materials to provide the required stiffness, strength and fatigue life, as well as resistance to corrosion, whilst minimising the mass of material required for blade construction and allowing its geometric form to provide the required hydrodynamic performance. Although composites provide superior performance to metals, potential failure mechanisms are more complicated and difficult to predict. A dominant failure mechanism is interfacial failure (delamination) between the composite layers (plies). This paper demonstrates how the development of numerical techniques for modelling the growth of interfacial cracks can aid the design process, allowing the effects on crack growth from potential manufacturing defects and the effect of stacking sequence of composite plies to be analysed. This can ultimately lead to reduced design safety margins and a reduction in the mass of material required for blade manufacture, essential for reducing lifecycle costs. Although the examples provided in this article are specific to tidal turbine blades, the analysis techniques are applicable to all composite structures where fatigue delamination is a primary failure concern.
. The UK has one of the world's richest resources and recent estimates suggest that tidal stream energy devices could provide approximately 21 TWh/yr of UK electricity (Black and Veatch, 2011) , which is equivalent to around 5% of total supply.
There is currently a wide range of tidal stream devices under development, but those closest to commercial deployment are generally open-bladed horizontal axis turbines, such as Marine Current Turbine's SeaGen, Tidal Generation Ltd's Deep Gen and Andritz Hydro Hammerfest's HS1000 (RenewableUK, 2012) .
Similar to wind turbines, the design lifetime of tidal stream devices will be 20-25 years but there is an even greater incentive for low maintenance requirements due to the harsh, inaccessible, marine environments where they will operate. This makes it vital to fully understand the loads that tidal turbines will experience and to design against potential failure mechanisms.
The cyclic loads experienced by tidal turbine blades are significantly different to those acting on wind turbine blades. Water has a density 832 times that of air and as a result, flapwise bending loads dominate for tidal turbine blades, wheareas for wind turbine blades, centripetal loads dominate due to the low density of air and their relatively high rotational speeds (Fraenkel, 2004) . Although tidal turbines are subjected to a predictable tidal current, which varies between two maximum speeds of typically 3-4 m/s in opposite directions over a 12 hour period, short-term variations in load are imposed by wave action and turbulence (e.g. due to sea-bed roughness and temperature effects). This means that in addition to extreme one-off load cases, such as a 50-year extreme wave event, material degradation under cyclic loads (fatigue) is a highly important design consideration (McCann, 2007) . The severity of fatigue loads experienced by tidal turbines is both design and site-specific, depending on factors such as the depth of installation, the proximity of the sea-bed and the wave environment (McCann et al., 2008) . The acquisition of appropriate experimental data to gain an improved understanding of fatigue loading has received much attention at sites such as the European Marine Energy Centre in Orkney (Droniou and Norris, 2007; Lawrence et al., 2009 ).
The structure of a typical tidal turbine blade is shown in Figure 1 and consists of a main spar running along the length of the blade, enclosed by a skin to give the blade its hydrodynamic shape. Carbon and glass Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 fibre reinforced composites are currently the favoured materials for these components (Marsh, 2004) due to their high stiffness, strength, and fatigue/corrosion resistance. During manufacture, layers known as plies, which consist of straight, continuous fibres, pre-impregnated with resin, are stacked on top of one another. The resulting stack of plies, known as a laminate, is then heated and cooled in a controlled manner so that the resin forms strong chemical bonds with the fibres and sets to form a rigid structure. The thickness of the blade is tapered from root to tip by incrementally terminating plies along the length of the blade, forming features known as ply drops. The combination of very strong fibres surrounded by a lightweight plastic matrix enables a greater strength and stiffness to weight ratio than is possible using metallic materials. Compared to metals, composites offer the additional advantages of an ability to be moulded into complex shapes and resistance to corrosion.
Although the fatigue performance of composites is also generally better than metals, fatigue remains a significant design consideration and is a highly complex failure regime to predict due to the many types of damage mechanism that can occur in fibre reinforced composites. These include cracks developing both within the individual plies of the laminate (intralaminar damage) and often more significantly, along the interfaces between plies (interlaminar damage) (Jones, 1999; Harris, 2003) . 1. Modelling the actual fatigue load spectrum that a tidal turbine blade will be subjected to during its 20-25 year lifetime (Gant and Stallard, 2008) . This relies on having reliable data for both the range of mean current speeds and level of flow turbulence at a given site. Specialist software tools such as Garrad Hassan's 'Tidal Bladed' (Bossanyi, 2007 ) and NREL's 'TurbSim' (Jonkman and Kelley, 2007) have been developed which can model both the hydrodynamic performance and the fatigue load spectrum, based on empirical turbulence data from sites such as the European Marine Energy Centre. Figure 2 (1. Analysis of extreme static and fatigue loads) shows a typical analysis output from GH Bladed where the temporal variation of the bending moment at the blade root consists of both a sinusoidal periodic component due to the harmonic tidal cycle and random short-term variations due to turbulence.
2. Converting this complex fatigue load spectrum to a series of constant amplitude, constant frequency, sinusoidal fatigue loads (Equivalent Fatigue Loads) that cause an equivalent level of material degradation Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 over the turbine lifetime and can be used for design and experimental certification purposes. Figure 2 (2.
Generation of simplified fatigue spectrum) shows sets of constant amplitude, sinusoidal fatigue loads that can be used within a numerical simulation to represent the cyclic components of the actual fatigue spectrum.
Although this will not account for any variations in damage accumulation due to the sequence in which cyclic loads are applied, modelling the actual temporal fatigue spectrum within an explicit Finite Element simulation, as performed in the current investigation, is not currently feasible (see section 2.1).
3. The application of design and analysis techniques to ensure that the simplified fatigue spectrum will not result in structural failure within the required design lifetime. This is the focus of the current paper and the methods being applied to address this challenge are now discussed in more detail.
Figure 2: The Structural Design Process for Tidal Turbine Blades
For wind turbine blades, extensive experimental studies have been conducted to investigate the effect of cyclic loading on composite material degradation (McGowan et al., 2007) and formal design procedures have been developed to account for these (Sutherland, 1999) . However, there remains significant ongoing research into the effects of mean stress and variable amplitude loading on material degradation, which have a significant impact on whether current methods for deriving Equivalent Fatigue Loads are adequate (Sutherland and Mandell, 2004) . These issues are equally relevant for tidal turbine blade design and in addition, recent studies have recognised that there is a need for a greater understanding of carbon/glass fibre reinforced composite materials degradation in marine environments. Davies and co-workers at the IFREMER research institute in Brest, France, have investigated the effect of long-term cyclic loading of such materials in sea-water, involving a number of composite material manufacturers Boisseau et al., 2013 Trethewey et al. (1993) , Botting et al. (1996) , Mukherjee and Varughese (1999) and Vidyashankar and Krishna Murty (2001) . Much of this work took place in the 1990's and a comprehensive review of the ply drop studies conducted during this period is provided by He et al. (2000) . More recently, increasing attention has been placed on the analysis of fatigue delamination (Murri, 2006; Murri and Schaff, 2006) but the majority of studies to date have focused on the number of cycles for a crack to initiate at a stress concentration rather than subsequent damage propagation. For structures where fatigue is a critical design driver, such as the tidal turbine blades considered in the current article, considering only crack initiation can lead to over-conservative design, particularly in cases where there are sharp stress concentrations at very localized regions such as ply drops. This is because cracks will tend to initiate at a relatively low proportion of the number of cycles taken for damage to grow to an extent where structural failure becomes a concern, particularly if any manufacturing defects are present. Once a crack has initiated, subsequent crack propagation may either be arrested as the stress redistributes or will be at such a slow rate that the structure can remain safely in service significantly longer than the crack initiation lifetime.
Increased computational processing power and understanding of composite failure has enabled the development of finite element modelling techniques that can simulate damage growth within composite structures. Numerical analysis techniques include the Virtual Crack Closure Technique (Rybicki and Kanninen, 1977; Krueger, 2004) and the use of interface elements, which are specialised finite elements placed along potential failure planes and used to simulate crack growth (Camanho et al., 2003; Jiang et al., 2007; Hallett, 2007) . A key advantage of interface elements is that they can encompass both strength based damage initiation criteria and fracture based crack propagation criteria. They can also enable cracks to propagate simultaneously along any interfaces where the interface elements are placed, which is a particular advantage when dealing with very thick laminates containing a range of potential damage paths. Recently, fatigue damage algorithms have been developed and implemented within interface elements to simulate crack growth under cyclic load conditions and these have been applied to predict both composite delamination (Capello and Tumino, 2007; Turon et al., 2007; Harper and Hallett, 2010) and adhesive bond-line failure (Khoramishada et al., 2010) .
The use of such methods within the design process offers a far greater understanding of failure than is possible using conventional techniques, which purely predict the number of cycles to failure for a given composite layup sequence and applied fatigue load, and provide no indication of the nature and rate of damage Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 progression prior to final failure. The ability to analyse the nature of damage progression can guide improvements both to the design geometry and composite layup sequence, hence allowing a greater level of design optimisation. It can also allow the impact of potential manufacturing defects, such as unbonded regions between plies, to be analysed, giving greater confidence in the required design safety margins that must be applied and possibly reducing these.
This paper demonstrates how the analysis of interfacial failure using interface elements can aid the structural design of tidal turbine blades using realistic scenarios where cracks can grow simultaneously along several interfacial planes, under both quasi-static and fatigue loading. This extends the authors' previous work (Harper and Hallett, 2010) , which gave a first presentation of the numerical method and looked at very basic fracture toughness coupons (DCB, ENF and MMB), where crack growth was only possible along a single plane and occurred under a constant mode-ratio.
In section 2, the main principles of the numerical model are outlined before describing how the model can be integrated with the blade design process to analyse both static strength and fatigue life. Application of the model to a composite ply drop feature typical of that found at the blade root is then demonstrated (sections 3 and 4) to clarify the process and to show how the model can be used to guide design improvements.
Methodology

Principles of Numerical Model
Cohesive interface elements, which are becoming increasingly used for analysing composite delamination and bond-line failure in finite element models, are bespoke elements inserted along potential interfacial failure planes. The interface element incorporates both stress and fracture based failure criteria, enabling both damage initiation and subsequent propagation to be analysed without the need for a pre-crack.
Since this paper is intended primarily to demonstrate how the interface element modelling technique can be integrated with the blade design process, only a brief overview of the interface element's numerical formulation is provided and the reader is encouraged to consult Jiang et al. (2007) and Harper and Hallett (2010) for more detailed information on the static and fatigue formulations respectively.
An interface element's behaviour is governed by a traction-displacement curve, in which stress generally increases from zero to the interface material's maximum stress (σ max ), before degrading to zero, resulting in complete failure. Although the shape of the interface element traction-displacement curve can take 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 numerous forms, one of the conditions for ensuring an accurate delamination analysis is that the total area enclosed must equal the critical fracture energy of the material (G C ). Figure 3 shows the quasi-static response of a typical interface element formulation, governed by a bi-linear traction-displacement curve, applied to the Double Cantilever Beam (DCB) test for pure mode I (opening) fracture behaviour in composite materials (ASTM D5528-01, 2007) . The Global Force-Displacement Response in Figure 3 shows the variation in load (P)
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at the two cantilever tips as they are subjected to an increasing displacement (Δ). The load initially increases in a linear manner until reaching the critical crack opening displacement (Δ crit ), where the strain energy release rate (G) at the crack tip exceeds the fracture toughness of the interface and the crack begins to propagate. The load then decreases as the opening displacement increases further and the crack advances. Figure 3 also shows the corresponding stress and mode I displacement (δ I ) of the initial crack tip interface element before crack propagation occurs. As the cantilever tips start to be displaced, the interface element stress increases linearly with its mode I opening displacement until reaching the maximum interfacial stress (σ max ) at its elastic displacement limit (δ e ). This corresponds with point 1 on the global force-displacement curve, which continues to increase linearly at this stage due to adjacent interface elements taking up the additional load. As both the cantilever tip displacement and interface element displacement increase further, the interface element stress linearly decreases as more load is taken up by adjacent interface elements. The rate of this decrease is set to ensure that when stress reaches zero at the failure displacement, and the element can support no load, the area enclosed by the stress-displacement curve is equal to the mode I fracture toughness of the material. The failure displacement (δ f ) corresponds with point 2 on the global force-displacement where the crack begins to advance. The mixed mode damage onset displacement, δ m,e , and interfacial strength, σ m,max , are calculated using a quadratic damage onset criterion: The mixed mode failure displacement corresponding to complete decohesion is calculated using the Benzeggagh-Kenane failure criterion (Benzeggagh and Kenane, 1996) :
where G II and G T are the mode II and total (mode I + mode II) crack tip strain energy release rates and G IC and G IIC are fracture toughness values (critical energy release rates) for pure mode I (opening) and pure mode II (shear) respectively. The exponent η is an empirical parameter derived from mixed-mode fracture toughness tests. A value of η=1.12 has been applied in Equation (2) as this was found to give the best fit to the experimental fracture toughness data for the material analysed in this investigation. Equation (2) allows the locus of complete decohesion, represented by the relative displacement corresponding to complete interface failure, δ m,f , to be determined.
Figure 4: The mixed mode traction-displacement law
The constitutive law for static load cases (Jiang et al., 2007) has recently been extended to enable material degradation and failure under cyclic loading (Harper and Hallett, 2010) . The fatigue degradation law is designed to simulate the Paris Law for crack growth, which has become commonly used to characterise both delamination and adhesive bondline failure under fatigue loading. Similar to crack propagation under static loading, the Paris Law relationship characterises crack growth with respect to the crack tip strain energy release rate and can be expressed as:
where a is the crack length in the direction of crack growth, N is the number of fatigue cycles and ∂a/∂N is the crack growth rate per fatigue cycle. ∆G is the change in crack tip strain energy release rate between the maximum and minimum load in each fatigue cycle, G C is the critical energy release rate, and C and m are constants determined by fitting the curve to experimental data gained from fracture toughness specimens. For linear elastic behaviour, the crack tip strain energy release rate is proportional to the square of the applied load Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 and ∆G can be calculated using the maximum strain energy release rate in each fatigue cycle, combined with the ratio between the minimum and maximum load (P min and P max ) in each fatigue cycle, commonly referred to as the R-Ratio (R=P min /P max ):
A typical Paris Law Curve is shown in Figure 5 and it is bounded by two key values; the threshold strain energy release rate, ∆G th , below which no crack growth occurs, and the critical fracture energy, G C , at which a crack will propagate under a static load. G max and G min are the maximum and minimum strain energy release rates within each fatigue cycle.
Figure 5: The Paris Law curve
There is a unique Paris Law curve for each mode-ratio (the ratio between mode I opening and mode II shear loading) and some form of interpolation law is required to determine the Paris Law constants under mixed mode loading. At the time of performing this investigation, no experimental data was available for mixed mode fatigue loading of the relevant material and it was necessary to assume a linear variation of the Paris Law Constants C and m, as proposed by Russell and Street (1989) , using Equation (5) and (6) respectively. Figure 6 shows the change in slope of the Paris Law curve applying equations (5) and (6) as mode ratio varies between pure mode I and pure mode II loading. Recent work at the University of Bristol (Allegri et al., 2013) has developed improved interpolation rules for mixed mode fatigue loading. These will be incorporated into the fatigue interface elements used for the current study in future work. 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 All of the analyses presented in this paper were performed using the explicit Finite Element code LSDyna. In order to simulate cyclic loading within the model, it is not numerically feasible to explicitly vary the applied load for the hundreds of thousands of cycles that the turbine blade will experience during its lifetime.
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Instead, a loading envelope strategy is employed, where the component being modelled is initially loaded to the maximum load in each fatigue cycle. Having allowed enough time for any dynamic effects to stabilise, the fatigue degradation law is then activated and although the load applied in the finite element load remains at the maximum in each fatigue cycle, the law allows the interface to weaken on the assumption that it is being subjected to continuous fatigue loading. The fatigue law itself performs the following main functions in order to allow this process to occur:
1. Extraction of the mode I and mode II strain energy release rate from interface elements within the model.
2. Calculation of the required rate of crack growth using the Paris Law model (Equations (3) to (6)).
3. Application of an interface element strength degradation law, causing them to fail at a rate which reproduces the required rate of crack advance provided by the Paris Law model.
These functions are illustrated in Figure 7 using the example of a composite ply drop, a design feature which is studied in detail in subsequent sections of this paper. 
Application to Blade Design Process
Due to the small finite element size needed to accurately simulate crack growth within specific layers of a laminate, it would be too computationally demanding to apply this modelling process to the entire turbine blade structure. Therefore, it is first necessary to identify regions of the blade where high stress concentrations occur and hence, which are most susceptible to failure under both extreme one-off load cases and fatigue loading.
This can be achieved using relatively simple structural models of the blade, where only the main profiles of components such as spars and ribs are considered and material properties are assumed to be constant through the thickness of each component (i.e. detailed design features such as ply drops, holes, cut-outs, bonded joints and the precise composite ply layup sequence within each component are not considered at this stage). Detailed finite element models can now be produced of the most highly stressed regions, where composite plies are modelled as discrete layers with material properties assigned according to the fibre direction within each layer. Interface elements are inserted between the composite plies and along any adhesive bond-lines present to enable Under fatigue loading, the models can be used to apply a damage tolerant design approach, where some crack growth from stress concentrations is allowed provided this does not compromise the blade's structural integrity. Such an approach offers the potential for a reduction in design safety margins relative to a conventional 'no growth' design philosophy, where stresses must remain below levels at which crack onset occurs. The model can be used to analyse the number of fatigue cycles to failure for a given applied fatigue load or the residual strength after a specified number of cycles. This can be done for any potential sequence of ply fibre orientations and sensitivity analyses can be conducted to evaluate the impact of design uncertainties, such as the size/location of manufacturing defects and geometrical tolerances.
The ability to explicitly model damage progression in this manner can reduce the physical test requirement by enabling design optimization to be done with the numerical models, before progressing to more expensive and time consuming validation tests on structural components. Coupled with improved understanding of potential failure mechanisms and damage growth rates, this can ultimately lead to improved design and reduced safety margins, enabling a reduction in the mass of material required for blade manufacture. A leaner blade structure enables the external profile to more closely match the ideal hydrodynamic design for maximum energy extraction, particularly in the highly stressed root region, where the need for very thick composite sections currently limits this. Hence, the tidal stream energy device can be made more cost-effective through two main avenues; a direct material cost saving and improved energy extraction from the device over its required lifetime.
Model Setup and Input Parameters
The potential application of these analysis techniques within the design process can be explored through a study on composite ply drops, which are used to gradually reduce the thickness of material along the length of the blade. The ply drop geometries used in this investigation are based on those from a recent study that used the Virtual Crack Closure Technique, rather than cohesive interface elements, to analyse delamination (Giannis, 2013 The most basic case of an external ply drop specimen (see Figure 8 ) with uni-directional plies (fibres running parallel to specimen length) is initially investigated, as a simplified validation case for the models.
Results for a more complex case of a cover ply specimen ( Figure 9 ) with multiple ply orientations, where failure involves simultaneous crack growth along several interfacial planes are then discussed. All of these investigations are performed under both a quasi-static tensile load until failure and at various tensile fatigue load levels with an R-Ratio of 0.1 until failure. It is assumed that the ply drop is part of the blade's spar cap, where carbon-fibre would be used for manufacture due to the high strength and stiffness requirement of this component.
The material properties used are for High Strength Carbon/Epoxy pre-preg, as shown in Table 1 (Aviation Enterprises Ltd material MRC044), and were provided by Element Hitchin Ltd, a specialist material testing laboratory. Element Hitchin Ltd also provided all experimental data subsequently presented for the ply drop specimen tests, allowing comparison with the numerical modelling results. The pre-preg had an areal weight of 600g/m 2 , which resulted in a cured ply thicknesses of 0.65mm. This material is commonly used for the manufacture of thick composite laminates for marine renewable energy applications such as tidal turbine blade spar caps, where a high load bearing capability is required. For the cover ply model, the resin pocket was modelled as an isotropic elastic material with a modulus of 2760 MPa and poisson ratio of 0.35.
With respect to the interfacial properties, two separate values of G IC were used for the modelling work conducted to investigate the effects of crack bridging, a process whereby intact fibres bridge the two surfaces of a growing crack and act to resist further growth. The lower value of 0.2125 N/mm occurs at crack propagation onset, before any crack bridging develops, and the higher value of 0.85 N/mm occurs once a significant amount of crack bridging has developed behind the growing crack front. Both of these values were determined by DCB fracture toughness tests on uni-directional specimens and a graphical representation of the increase in fracture toughness observed in these tests is shown in Figure 10 , courtesy of Element Hitchin Ltd. Table 1 are the interface element stiffness prior to damage initiation (i.e. the elastic region of the traction-displacement curve) under pure mode I and pure mode II loading respectively. K I and K II are not experimentally determined but satisfy the requirements of providing a high stiffness interface without exceeding a value that would lead to numerical instabilities. All numerical modelling work was conducted using the explicit Finite Element code, LS-Dyna, and results are compared with experimental data for equivalent ply drop specimens.
Results
External Ply Drop
For quasi-static loading, Figure 11 shows how interfacial damage in the uni-directional external ply drop specimen progresses under increasing tensile stress in the core laminate, with Figure 12 . These results suggest that future models should incorporate a varying G IC value in interface elements, with a lower value not including the effects of crack bridging in regions of crack initiation and a higher value to account for crack bridging away from these locations. For fatigue loading, numerical analyses were again performed using the high and low values of fracture toughness. These were plotted against two experimental data sets:
i) The number of cycles for a crack to initiate (measured by observation in the experimental tests) and propagate 5 mm along the interface between the cover ply and final ply drop, referred to as 'total life.'
ii) The number of cycles for a crack to propagate 5 mm along the interface between the cover ply and final ply drop following crack initiation, referred to as 'propagation life'.
In Figure 13 , the numerical and experimental fatigue lives are plotted against the maximum axial stress in the core laminate in each fatigue cycle. Due to the differences in the absolute values between numerical and experimental results in the static case as noted in figure 12 , fatigue results are presented normalised against the relevant numerical static value. Raising G IC in the numerical simulations is seen to significantly reduce the rate of crack propagation for a given fatigue load, which is consistent with the increased static failure stress at a higher G IC value. The experimental fatigue data appears to give closer correlation with numerical results for G IC = 0.21 N/mm at low fatigue loads and for G IC = 0.85 N/mm at high fatigue loads. This suggests that the fatigue load level may be influencing the damage mechanisms around the crack tip and the resultant amount of crack bridging as the crack propagates, but this requires further investigation in future work. The experimental results for total life and propagation life exhibit close correlation, indicating that fatigue life is dominated by the crack propagation stage, even for this relatively small crack length failure criterion of 5 mm. The experimental results exhibit good correlation with the numerical results at high fatigue load levels, but shorter than predicted fatigue lives at low fatigue load levels. 
Single Cover Ply Results
Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016/j.oceaneng.2014.12.025 Figure 14 shows the damage progression sequence for the single cover ply specimen with G IC = 0.21 N/mm under quasi-static loading. Due to the high mode I load component where the cover ply falls onto each internal ply, significant delamination between the cover ply and internal plies occurs at stresses far below the final failure stress. Initial crack propagation between the cover ply and step 4 occurs at 28% of the final failure load. This initial propagation is stable and progresses to a length of about 5 mm before a delamination initiates at the next cover ply/internal ply drop interface. Delaminations between the cover ply and internal plies continue to grow in a stable manner until final failure occurs, which is via an unstable delamination along the interface between step 1 and step 2. Crack propagation begins along this interface at an axial stress in the core laminate of 980 MPa and rapidly becomes unstable, causing complete specimen failure at 1080 MPa. Figure 15 shows this sequence of damage events on a stress-displacement chart, where the experimental results, courtesy of Element Hitchin Ltd, and results for the external ply drop model are also shown for comparison. Final failure in the experimental test specimens occurred at a 25% greater failure stress of 1352 MPa and the damage progression sequence showed the following differences compared with the numerical model:
i) Damage initiation in experiments was observed at a mean tensile stress of 975 MPa at the end of the terminating 0 degree ply (step 2 in figure 14 ) and a crack was seen to propagate simultaneously towards both the thick and thin end of the specimen (along the 0 degree/-45 degree interface and the cover ply/-45 degree interface). Although this shows close agreement with the numerical model with respect to initial crack propagation between the 0 degree/-45 degree interface, which occurred at 980 MPa, it shows poor agreement with initial crack propagation between the cover ply/-45 degree interface, which occurred at 300
MPa in the models. This requires further investigation but may be partly attributable to the insertion of a small 0.2 mm void at the end of the resin pocket in the numerical model, which was not present in the experimental specimens. It could also be due to different interfacial properties (e.g. higher fracture toughness) occurring between the resin pocket and cover ply to those measured in the fracture toughness specimens and applied uniformly in the numerical model.
ii) In the experimental specimens, interfacial cracks were observed to jump through the -45 degree ply and interfacial crack propagation also occurred between the core and the -45 degree ply, both towards the thin and thick end of the specimen. Future numerical models will need to include interface elements within the -45 degree ply to allow these effects to be simulated. The effect of a 1 mm manufacturing defect at the end of each ply drop termination was also investigated for the cover ply specimen, which would be typical of a defect in a real blade caused by a thin segment of release film remaining attached to the end of a ply. This was achieved by deleting a 1 mm strip of interface elements in the numerical models and by inserting a starter crack in the experimental specimens using release film. Other defect types were outside of the scope of this piece of work, but such high-fidelity modelling techniques are the subject of ongoing work at the University of Bristol (Mukhopadhyay et al., 2013; Li et al., 2013) . Further investigation of potential manufacturing defects in tidal turbine blade structures and their effects on damage progression and failure will be important in future studies.
The 1mm defect was found to have no significant impact on either the damage progression sequence or final failure load in the numerical model and this was consistent with the experimental results, where the mean failure load for specimens with defects was recorded as 1362 MPa, compared to 1352 MPa without defects.
Due to the large amount of cover ply delamination occurring in the numerical analyses prior to final failure, which was not observed experimentally, the effect of raising G IC to 0.85 N/mm was again investigated.
This had little effect on the final failure load, since it is governed by the mode II dominated interfacial failure between step 1 and step 2, however it did significantly increase both the cover ply delamination onset loads and the extent of cover ply delamination prior to final failure. The damage progression sequence with G IC = 0.85 N/mm and defects included is shown in Figure 16 . shows fatigue results for the cover ply specimen using the normalised fatigue load level. All fatigue analyses were conducted with 1 mm defects inserted for consistency with the experimental tests. A G IC value of 0.85 N/mm was applied throughout because initial trials with the lower value of 0.2125 N/mm gave extremely short fatigue lives due to large cover ply delaminations, which were unrepresentative of the experimental tests. The nature of damage progression was similar to that for the static analyses, with the critical delamination growing between the step 1/step 2 interface. In this case, fatigue life was defined as the number of cycles for the critical delamination to reach a length of 20 mm, rather than 5 mm, as previously used for the external ply drop specimen. This was due to the large initial crack growth rate, which resulted in very low Published in Ocean Engineering 2015; 96. pp 272-283 DOI: 10.1016 96. pp 272-283 DOI: 10. /j.oceaneng.2014 fatigue lives when using a length of only 5 mm. Similar to the external ply drop specimen, the total experimental fatigue life was dominated by the crack propagation phase (i.e. cracks were generally seen to initiate at a low number of fatigue cycles relative to the total number of cycles for a crack to propagate 20 mm). Similar to the external ply drop specimen, a reasonable level of correlation was gained between the experimental and numerical results. The static and fatigue analyses conducted on the external ply drop specimen have shown the importance of developing an ability to vary interfacial fracture toughness as a crack progresses, to account for crack bridging effects and more accurately simulate crack propagation. This can potentially be achieved by varying the G IC value in interface elements, with a lower value not including the effects of crack bridging in regions of crack initiation and a higher value to account for crack bridging away from these locations. In the case of the cover ply model, further work is required to better understand the factors influencing the mode I dominated cover ply delaminations occurring prior to final failure and why these were less significant in the experimental tests.
Particular attention should be placed on investigating the effects of the interfacial properties applied to the resin pocket and how geometric details such as voids influence the results. For models with +/-45 degree plies, there is also a need to investigate how crack branching through the thickness of individual plies can be modelled, possibly by inserting interface elements through the thickness of plies at critical locations.
Further improvement to the current Paris Law fatigue model may be possible if mixed mode fatigue data becomes available from fracture toughness specimens. This will allow the accuracy of the current linear Step 4 (0°)
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